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A new bond model for ribbed bars embedded in concrete has been developed. The model is based on
the confining capacity of the concrete surrounding the bar. This confinement capacity is evaluated with
the help of a thick-walled-cylinder model, with which the relation between the radial displacement
and the radial compressive stress at the steel-to-concrete interface is described. Next, the slip of the
ribbed bar is linked to the radial displacement of the interface, treating the two modes of bond failure,
splitting of the cover and pull-out of the bar, in a different way.

The model takes into account the effect of concrete softening in tension and of bar contraction
connected to yielding. It has been tuned and verified on the basis of a broad range of experimental

results.
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1 Introduction

The degree of confinement of a ribbed bar embedded in concrete not only affects the magnitude of
the ultimate bond stress but also the bond stress-slip relation. This has been recognized in MC90
(ces-riP Model Code 1990), where both characteristics have been defined as a function of the bond
failure mode: splitting (“unconfined concrete”) or pull-out (“confined concrete”) and the bond con-
ditions (“good” or “all other cases”). Hence, the bond stress-slip relation has not been defined as a
continuous function of the concrete cover, but it has only been given for two discrete values of the
cover, viz. for unconfined concrete c¢/d, = 1! (requiring a minimum amount of transverse reinforce-
ment) and for confined concrete c/d, = 5.

However, for a more refined analysis of phenomena in which bond plays a dominant role a bond
stress-slip relation is required that more accurately takes into account the concrete confining
capacity. For example the length of a plastic hinge, which is of importance for the rotational capacity
of reinforced concrete members, depends among other things on the force transfer from reinforce-
ment to concrete between subsequent bending cracks (Bigaj and Walraven 1996).

The importance of the concrete confining capacity for the bond resistance of a ribbed bar directly
follows from the analysis of the force transfer between the bar and the surrounding concrete. The

radial components of the concentrated forces, that radiate from the bar into the concrete, are
' Symbols that are used once are explained in de text, the others are given at the back.
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equilibrated by circumferential tensile forces in the concrete and by any additional confinement,
such as transverse reinforcement and external forces. This confining action determines the mode of
bond failure and other specific bond characteristics.

In the bond model given hereafter the concrete confining capacity is used as a starting point to
describe the bond behaviour of a ribbed bar embedded in concrete. Here only the confinement
delivered by the surrounding concrete is considered. This confining capacity is analytically
estimated taking into account the softening behaviour of concrete loaded in tension. It is expressed
by the relation between the radial stress and the radial displacement of the bar-to-concrete interface.
For the transition from this relation to a bond stress-slip relation the ribbed bar is conceived as a
smooth conical bar transferring the bond stress through dry friction to the concrete. The “bar-to-

concrete interface” is further denoted as “interface”.

Concrete confinement model

To describe the resistance of the concrete cover against splitting due to bond the model of a thick-
walled-cylinder is used, in which the radial component of the bond action makes equilibrium with
the circumferential tensile stresses across the cylinder wall. As long as these hoop stresses remain
below the tensile strength a linear elastic stress state is present, for which analytical expressions are
available. When the circumferential stress reaches the tensile strength one or more radial cracks
start to grow and the response of the concrete to the internal pressure becomes non-linear. For this
stage Tepfers (1979) considered a lower and an upper bound solution. The lower bound was given
by assuming that in the cracked part of the cylinder the circumferential tensile stresses are equal to
zero and that the uncracked part behaves linear elastically. The upper bound followed from the
assumption of a purely plastic material behaviour, which yields a uniformly distributed circum-
ferential tensile stress equal to the tensile strength. A more refined approximation for the non-linear
state was developed by Van der Veen (1990), extending Tepfers’ cracked-elastic model by taking
into account the softening behaviour of concrete. The splitting resistance found with this approach
falls between Tepfers’ lower and upper bounds and shows good resemblance with experimental
results.

The aforesaid models only deal with the concrete stresses around a bar, which suffices to establish a
criterion for bond splitting failure. In the present approach, however, the bond stress is considered
as a function of the concrete response to the radial displacement of the interface. Therefore, the

concrete deformations involved have to be considered as well.

Uncracked stage (stage I)

The response of a thick-walled-cylinder to an internal pressure can be subdivided into three stages:
the uncracked, partly cracked and entirely cracked stage, respectively.

In the uncracked stage a linear elastic behaviour of the cylinder can be assumed, for which the
stresses and deformations have been given by Timoshenko (1976):
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Normalizing the radial displacement of the interface to the bar radius yields a dimensionless

quantity, which is further denoted as the radial strain at the interface.

Partly cracked stage (stage II)

To find the o, - g-relationship at the interface in the second stage the cylinder is subdivided into a
cracked part and an uncracked part (Fig. 2.1). At the crack front r = r_, the circumferential stress is
— per definition - equal to the tensile strength. Substitution of o, = f,, and r = r, into eq. (2.2) and
taking r, = r., and r, = ¢, yields for the radial stress at the crack front:

Our, = fem o = faCi (2.4)
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Fig. 2.1. Partly cracked thick-walled-cylinder.

Hence, at the interface the uncracked cylinder contributes to the radial stress:

T T

o-lLlr3 = == O, = Tcrfclcl (25)

s T o T

The superscripts LE (linear elastic) and NL (non linear) refer to the contribution of the uncracked
part and the cracked part, respectively.
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Substitution of eq. (2.4) into eq. (2.3) and taking E—‘ = g, gives:
CI2 - Tg‘-
e, = Tuba 140572 ) = el 140.C) (26)
Ter c?+ 72

Thus, the uncracked cylinder contributes to the radial strain at the interface:

ol = e (1+0.C) @7)

To estimate the contribution of the cracked cylinder to the radial stress and strain at the interface the
softening behaviour of concrete loaded in tension is taken into account by applying Hillerborg's
(1983) fictitious crack model (Fcm). A bi-linear softening relation as proposed by Roelfstra and Witt-
mann (1986) is chosen:

7= ”;Uu‘;” (2.8)

Expressing the constants a and b in the normalized coordinates ozand f3 of the intersection point

(Fig. 2.2) yields for the first and second branch, respectively:
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Fig. 2.2. Bi-linear softening diagram for concrete in tension.
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The fracture energy G; and the characteristic length I, which is a measure for the brittleness, can be

expressed in the same coordinates:

G; = 0.5(ct+ Bywy fe, (2.11)
G:E.
L, = ; (2.12)

For normal density concrete — both for nsc and Hsc - the localized deformation at failure w is
assumed to be 0.2 mm, the value of o is set to 0.14, while the value of s linked to the concrete

strength according to:

forf,<30MPa fB=0.25

(2.13)
forf.230 MPa  f3=0.25-0.015 (f. - 30)

These values were derived from experimental results reported by Roelfstra and Wittmann (1986) for
Nsc and Walraven et al. (1993) for Hsc.

By rewriting eq. (2.8) the fictitious crack width can be expressed as:

- Yol O
w = — (fc[ bj (2.14)

The total elongation of a circular fibre with radius r consists of the total width of the fictitious cracks
and the elastic deformation of the concrete between those cracks. Neglecting the influence of the

radial stress on the tangential deformation, the fibre elongation can be written as:

e a0 O
A= 2nre  +n p (fcl b) (2.15)

1 being the number of fictitious cracks.

To establish the distribution of the circumferential tensile stresses across the wall of the cracked
cylinder, in his first modelling step Van der Veen regards the concrete segments between the cracks
to be stress free and considers the rigid body movement of these segments, which results in a

constant crack width across the wall, shown in Fig. 2.3 (left). In reality, however, these cracks are

partly

zwrcrecr /3

cohesive crack

Fig. 2.3. Rigid body movement of segments in cracked part of cylinder (left) and deformed segments due to
tangential tensile stresses transmitted by cracks (right) after Van der Veen (1990).
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closed by circumferential tensile stresses as long as the width of the individual cracks is smaller
than w,. This is included in the final model, as shown in Fig. 2.3 (right). At the crack front, where the
circumferential stress equals the tensile strength, the cracks are entirely closed and the total fibre
elongation is only caused by elastic deformation. Neglecting the Poisson effect this deformation

crer/

equals 27r €, thus:

27r 6., = 2716, + nzﬂ’("“ - b) (2.16)
a fcl

which becomes after rewriting:

) 2TE &
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The radial stresses which make equilibrium with the circumferential tensile stresses in the cracked

part of the cylinder follow from:

ot = 1o, ar (2.18)

To simplify the integration operation, the ratio ¢,/ €, in eq. (2.17) is put equal to 1, which involves a
certain overestimation of the circumferential strain in the cracked cylinder. On the other hand, this
strain was underestimated by neglecting the Poisson effect at the crack front. Hence, both effects

partly neutralize each other. Substitution of eq. (2.17) into eq. (2.18) and integration of the latter

yields:
o aCyr(ry L,V Ter
= (7_1) +b(7—1) 2.19)

Substitution of r = r, into eq. (2.19) gives the contribution of the cracked cylinder to the radial stress

at the interface:

ot aCyry(ry, LV Te
L sfTer _q Ter _
= (T ) +b(r 1) (2.20)

Now the confining stress of the entire cylinder in the partly cracked stage (stage II) is given by the
sum of eq. (2.5) and eq. (2.20):
o, Oif  Onr

7_: = K+z[— (2.21)

The superscripts I, I and III refer to the three stages of behaviour of the cylinder: uncracked, partly

cracked and entirely cracked, respectievly.



The radial deformation of the cracked cylinder is evaluated assuming the Poisson effect to play a
minor role compared to the influence of the fictitious cracks. Therefore the change of the wall thick-
ness of the cracked cylinder can be written as:

]

Lol b ol
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E. Fu fn fm (22)
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with J% = g

c

From eq. (2.4) the uncracked cylinder’s contribution to the radial stress in the cracked cylinder is

known:
oLE 7y, Ou: Ter
T - _ﬂ cr - _(_-‘_IC 2.23
fcl r fcl ro! ( )

and the contribution of the circumferential tensile stresses in the cracked cylinder to the radial stress
is given by eq. (2.19). Substitution of eq. (2.4) and eq. (2.19) into eq. (2.22) and rewriting yields:
with:

Aclit = Acy + Ac, (2.24)

ICI

Acy = £,C, :—f‘dr - scrclrc,ln(%—‘) (2.25)

s

and:

Acy, = ec,..[ﬂC227 (f - 1) dr+ ec,.J-b(—rf - 1)dr =

= S”ZCZ(ZJZ ln( S) 4r (re—1y) + (rd ArZ))+EC,.b(rc,.ln(%')—(rcr—rs)) (2.26)

Now, the radial strain at the interface due to the change of the wall thickness of the cracked cylinder

follows from:

NL
ganL\ = E&L = & + _Ac_“z (2.27)

Ty I I
The total radial strain at the interface is the sum of the strain due to the deformation of the
uncracked part of the cylinder and the aforementioned change in wall thickness of the cracked part

of the cylinder, as given by eq. (2.7) and (2.27), respectively:

el = etk + ek (2.28)
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2.3 Entirely cracked stage (stage II1)
Up to now the radial stress-strain behaviour that occurs in the first two stages, during which radial
cracks are initiated and driven through the entire wall of the cylinder, has been derived. In the third
stage these cracks become wider and the confining action of the concrete diminishes as a
consequence of the softening behaviour. The derivation of the radial stress-strain relation for this
stage is analogous to that for the cracked part of the cylinder in the second stage. First, the circum-
ferential tensile stress is estimated assuming the total elongation of the fibres across the cylinder
wall to be constant (A, = A,,) and the tangential strain ¢, to be equal to the fracture strain £_.

Substituting these values into eq. (2.15) and rewriting yields:

)+ b= a(Cs+Cyr)+b (2.29)

Our _ a(Am _27e,,
fa nwy  Nnwy

Next, the radial stress is found after substitution of eq. (2.29) into eq. (2.18) and integration between

rand c;:

5 = aen(31)-55() ) e
Substituting = 7, in eq. (2.30) yields the radial stress acting at the interface:

- en(31) (]

The radial strain at the interface is derived from the radial displacement, which consist of two parts:
the rigid body movement (rem) equal to the radial displacement of the outer fibre and the change of
the wall thickness (Ac):

el = gRBM 4 gl (2.32)

The strain due to the rigid body movement can be written as:

Ary
giM = — = = Cy5—
§ Ty 27y 27y,

(2.33)
The strain connected with the wall thickness change is obtained by integrating eq. (2.30) over the
cylinder wall and dividing it by the elastic modulus and the bar radius:

c
1

Ac _ 1 \O'.-r €u : €1 aC, (Clz )
Ac — = — | —dr= — —_—— o — p—— =
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" 2 2
£..(aCs + b)(% ln(;—])— o 1) - “-9%’—(2(?) ln(i—l)— (?) . 1) (2.34)
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Discussion and experimental verification of confinement model

An estimate of the confining capacity found with the thick-walled-cylinder model given in Chapter
2 is shown in Fig. 3.1. The clamping action of the concrete is expressed by the radial compressive
stress as a function of the radial strain at the interface, the latter being the radial displacement of the
interface divided by the bar radius. The three stages mentioned in Chapter 2 are indicated. During
stage I the cylinder remains uncracked and a liner elastic material behaviour is assumed. The transi-
tion into stage II is marked by the initiation of radial (macro)cracks starting at the interface. In this
stage the cylinder is partly cracked and for the cracked part the softening of concrete in tension is
taken into account. The penetration depth of the radial cracks is the control parameter in this stage.
The maximum radial stress is reached after a penetration of about 70% of the cylinder wall. Further
crack penetration results in a decrease of the radial stress, which is accelerated as soon as the entire
cylinder wall is cracked. Then stage III begins, which is controlled by the radial crack width at the

outer perimeter of the cylinder.

2 ar’,;/fct

stage [
stage II _ stage IIl

61 n =3
od, =3
4 Joe= 30 MPa

0 1 2 3 4 5
10°< €,

Fig. 3.1.  Confining capacity estimated with the thick-walled-cylinder model (stage I: uncracked, stage II:
partly cracked, stage 111: entirely cracked).

A series of tests have been performed to verify and tune the confinement model. A conical steel bar
(1:500 cone surface inclination; 12, 16 and 20 mm average diameter) with a smoothly grinded
surface was embedded in a 25 mm thick concrete disc (80, 100, 120 and 140 mm diameter, 4 to 6 MPa
splitting tensile strength). The bar was pulled through the disc measuring the pull-through force as
a function of the free bar end displacement, thus obtaining a relationship between the average bond
stress and the radial displacement of the interface. Under the assumption of a constant coefficient of
friction this relationship is proportional to the radial stress versus radial strain relation found with
the thick-walled-cylinder model. Some of the results are presented here.

In general 4 to 5 radial cracks started at the interface. In the beginning the penetration depth of all

cracks was about the same, but at the end one of these cracks developed faster, clearly showing a
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greater depth and a greater width. In the model, however, the cracks are supposed to open uni-
formly. To count for this discrepancy a smaller number of cracks is assumed in the model than
observed in practice. As can be seen in Fig. 3.2, the choice of this parameter has a strong influence on
the descending branch of the confining capacity curve. Good simulations have been obtained by
fixing the number of cracks to three; see Fig. 3.3.

8 0,
dg =12mm
64 c/dy =3
Joe =30 MPa
4.
5
0 !

3
10 x8,,,s

Fig. 3.2.  Influence of assumed number of radial cracks on confinement capacity estimated with thick-
walled-cylinder model.
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Fig. 3.3. Measured relation between bond stress and radial strain (left) and calculated relation between
radial stress and radial strain (vight).

The thick-walled-cylinder model is used to simulate the concrete clamping action on a reinforcing ele-
ment. This requires a choice of the wall thickness that takes into account the real configuration with
respect to cover and spacing. For this purpose an approach is presented in Section 4.3.2.
Furthermore, bond conditions vary as a function of the bar position with respect to the bottom of

the mould due to sedimentation of the fresh concrete. This aspect can be simulated by extending the
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4.1

thick-walled-cylinder model with a thin boundary layer with a lower modulus of elasticity,
see Den Uijl (1994).

Bond model

Description of bond behaviour

In this chapter a bond stress-slip relationship for a ribbed bar embedded in concrete is developed
using the confinement model given in Chapter 2. For the evaluation of the bond strength a distinc-
tion is made between the splitting type and the pull-out type of bond failure, which are described in

the following general description of the bond behaviour.

When bond between a ribbed bar and concrete is activated three consecutive stages of behaviour
can be observed. First, the initial contact between steel and concrete is maintained by adhesion and
interlocking of the cementitious matrix and the steel surface. In this stage an elastic bond behaviour
is assumed, which is connected to small bond stress values. In the second stage, which starts when
the initial bond is broken, bond is mainly governed by bearing of the ribs against the concrete.

The concentrated bearing forces in front of the ribs cause the formation of cone-shaped cracks
starting at the crest of the ribs. The resulting corbels between the ribs transfer the bearing forces into
the surrounding concrete. In this stage the displacement of the bar with respect to the concrete (slip)
consists of bending of the corbels and crushing of the concrete in front of the ribs, see Fig. 4.1

(Goto 1970). The bearing forces, that are inclined with respect to the bar axis, can be decomposed
into the directions parallel and perpendicular to the bar axis. The parallel component equals the
bond force, whereas the radial component induces circumferential tensile stresses in the surround-

ing concrete, which may result in radial cracks.

internal crack

Fig. 4.1. Deformations around the bar for splitting bond failure, after Goto (1970).

Now two failure modes are to be considered. If the radial cracks propagate through the entire cover
bond splitting failure is decisive. In that case the maximum bond stress follows from the maximum
radial stress delivered by the surrounding concrete. Further crack propagation results in a decrease
of the radial compressive stress. At reaching the outer surface - which marks the beginning of the

third stage of the bond splitting failure mode — this stress strongly reduces resulting in a sudden
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drop of the bond stress. Yet, the load bearing mechanism remains the same as in the previous
stages.

When the confinement is sufficient to prevent splitting of the concrete cover bond failure is caused
by pull-out of the bar. In that case a new sliding plane originates around the bar shearing off the
concrete corbels and the force transfer mechanism changes from rib bearing into friction, see

Fig. 4.2. The shear resistance of the corbels can be considered as a criterion for this transition, which
in this case of pull-out bond failure mode marks the beginning of the third stage. Due to the lower
roughness of the new sliding plane compared to that of the ribbed bar, the occurrence of this surface
is connected with a considerable reduction of the radial compressive stress and, hence, with a
reduction of the bond stress. Under continued loading the sliding surface is smoothened, due to
wear and compaction, and the attendant volume reduction will result in release of the radial strain

and in further reduction of the bond stress.

pulled rebar

sliding plane

Fig. 4.2.  Deformations around the bar for pull-out bond failure.

In general it is considered that the Poisson effect has a negligible influence on the bond resistance of
ribbed bars. As long as rib bearing is the force transferring mechanism (splitting bond failure) this
statement can be justified, considering that the transverse deformation connected to the local steel
stress change is small compared to the rib height. However, when the force transfer mechanism
changes from rib bearing to friction (pull-out failure) the local transverse deformation can not be
disregarded considering the roughness of the sliding plane. In this case the Poisson effect may con-
siderably influence the development of the radial compressive stress and, hence, the bond stress.
For an increasing steel stress this will result in a release of the radial strain and, thus, in a reduction

of the bond stress, which may become pronounced when the steel starts to yield.
Modelling of bond behaviour

Bond model formulation

To model the above described bond behaviour three steps are taken, see Fig. 4.3. Firstly, a boundary
layer is assumed over which the localized displacements and forces acting at the interface are
smeared out. The thickness of this boundary layer is disregarded so that the external diameter of the
boundary cylinder equals the nominal bar diameter. Secondly, the ribbed bar is conceived as a
conical bar, thus connecting the slip of the bar with the radial displacement of the interface. Finally,
the bond mechanism is assumed to be based on dry friction, which makes the bond stress directly



proportional to the radial compressive stress. The relationship between the radial displacement and
the radial compressive stress is given by the confinement model given in Chapter 2. It is noticed that
in the confinement model the radial displacement of the interface is normalized to the bar radius,

which results in a radial strain at the interface. From the radial compressive stress o, the bond stress

7, is found by:

7, = o.cot(0) @.1)

with cot(6) coefficient of friction.

i

Fig. 4.3. Modelling steps.

The relationship between slip and radial displacement is given by the cone angle, thus representing
the wedging action of the ribbed bar when displaced with respect to the surrounding concrete.
This wedging action becomes active after the transition from adhesion to rib bearing, so with the
beginning of the second stage. In the model the first stage, which comprises of adhesion and inter-
locking, is neglected.

In the third stage the cone angle depends on the failure mechanism. With bond splitting rib bearing
continues to be the force transferring mechanism and in that case the cone angle remains the same. On
the contrary, the development of the cylindrical sliding plane around the bar in the case of pull-out
failure is connected with a much smaller roughness, which involves a reduction of the cone angle.
Moreover, as the pull-out failure develops, the progressive smoothening of the sliding plane will
cause a further reduction of the cone angle. It is assumed that this process is a function of the slip, and
that the rate with which it occurs decreases as the slip increases. This holds also for the radial displace-
ment of the interface, which reduces as the smoothening of the sliding plane continues.

These considerations result in different relationships between slip and radial strain for splitting
failure and pull-out failure as shown in Fig. 4.4a and Fig. 4.4b, respectively. Furthermore, it can be
seen that with increasing slip the entire confinement capacity curve is followed in the case of split-
ting failure, whereas in the case of pull-out failure only a part of the ascending branch of this curve
is followed, first upward and then downward. The subscript s in Fig. 4.4b denotes the longitudinal
steel strain and the influence of the Poisson effect on the radial strain. In fact, this influence is
proportional to the change of the local steel strain. Assuming the initial value of the local steel strain

to be zero, the change of the local steel strain corresponds to the local steel strain itself.
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Fig. 4.4a. Relation between slip & Fig. 4.4b.  Relation between slip 6,
and radial stress o, for steel strain €, and radial stress o, for

splitting bond failure. pull-out bond failure.

For the mathematical formulation of the bond model a clear distinction is made between both bond
failure modes: splitting and pull-out. For the splitting mode the most important influence is the
wedging effect connected with the rib bearing mechanism. It has been argued that influence of the
Poisson effect is small and therefore it is neglected. Wear and compaction do not play a role with this

failure mode. Hence, for the splitting mode the radial displacement of the interface is expressed by:

&.r, = dtan(p) (42)
with

6 = slip

¢@ = angle between cone surface and bar axis

For the pull-out mode of bond failure it has been reasoned that after the occurrence of the cylin-
drical sliding plane the cone angle diminishes as the slip increases, that the Poisson effect can not be
disregarded and that wear and compaction of the sliding plane shall be taken into account. Thus in
this case the radial displacement of the interface is influenced by a number of factors that can be

connected with the slip and the local steel strain:

&, 1, = O0tan(@(0)) - o, & 0,7~ F(6) (4.3)
with
@(0) = slip dependent cone angle

[04

3 coefficient representing effectiveness of the release of the radial strain at the interface

due to the bar contraction



£ = longitudinal steel strain in the bar

Poisson constant of steel

pai
&
I

slip dependent function representing the radial strain release due to the wear and

compaction of the sliding plane

In absence of the information needed to quantify precisely all the above mentioned influences an
expression is used that represents the combined influences of wedging, Poisson effect and wear of

the sliding plane:

Sr. r\rs = Fl(d 85) (44)
with F (6, &) being a function of the local slip and steel stress.

A graph described by this function for a constant steel strain g, is displayed in Fig. 4.5. It consists of
three sections marked by the points a, b, c and d. The subscript s in the coordinates of these point
refers to the steel strain. Section A and B are cubic parabolas, section C is an exponential function.
In point b the tangent is horizontal, whereas c is a point of inflection. The coordinates of points b, c
and d are derived from the position of the boundary curve shown with the dashed line, applying a
reduction function, which implicitly takes into account the influences of the Poisson effect and of
the sliding plane wear on the radial deformation. The coordinates of the boundary curve are

discussed later. First, the expressions for the coordinates of the points a, b, c and d are given.

e

A B, C
T T
Er1,0 [y £5=0
Eus | [ 1ab T s
8r2,s

€ r3,max
Er3s

8,

s

Fig. 4.5. Radial strain-slip relationship for pull-out bond failure.

The horizontal shift of point a is connected with the free space that occurs in front of a rib when only

the Poisson effect is taken into account and no slip, see Fig. 4.6:

concrete

pulled rebar @

Fig. 4.6. Initial &, due to the bar contraction.
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Lele V&I

S5 = ry tan(y) (45)
with

Ly, = length of finite element

y = rib face angle
The horizontal coordinate of point b equals::

01 = G+ 810 (4.6)
The vertical coordinate of this point follows from:

_K(e)e

&5 = (Eno—Eae (Bl &3 4.7)
with K(g,) a constant with which the reduction rate of ¢, is controlled.
The coordinates of point c are arbitrarily chosen as follows:
The coordinates of point d are derived in a similar way as the vertical coordinate of

&,
5, = 3 4.8
= 2 (48)
Enst &
LLm 4.9

e et *9)
point b:

53.5 = (63.mzn - 63(]““])67“53)& + 63A min (410)
with K(6,) a constant with which the reduction rate of 8, is controlled.

€35 = (£|'3.nu\x - grS.min)e_Ku‘I;)é‘\ + &3.min (411)

with K(e,) a constant with which the reduction rate of ¢ is controlled.

The boundary curve is derived on the basis of a number of assumptions and considerations, which
are discussed hereafter. The criterion for the transition from the splitting failure mode into the pull-
out failure mode is a critical bond stress 7, which is assumed to be proportional to the tensile
strength of the concrete. This bond stress is connected to a radial stress o, according to eq. (4.1) and
the radial strain ¢,(=¢,, ;) that corresponds to this radial stress is directly found from the con-
finement model; see Chapter 2. For the splitting failure mode the slip §, connected to this radial

strain is found with eq. (4.2). Considering that the transition from one failure mode into the other is
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a gradual process, for pull-out failure this slip value is multiplied with an arbitrarily chosen value
two:
2e0y

G0 = 20, = Tan(g) (4.12)

The value of &.

3,max

is put equal to the length of the concrete corbels between two subsequent ribs L,

key’

which value is proportional to the bar diameter, in general. The value of §.

3,min

is arbitrarily put to 2.1

times &, ;. The limit values of the radial strain, ¢, and ¢, are found from the assumed residual

3,max 3,min/
bond stress levels 7,; . and 7., after the slip induced strain release and the combined slip and
steel stress induced strain release, respectively (conversion from bond stress to radial stress with

eq. (4.1), and from radial stress to radial strain with confinement model; see Chapter 2).

Parameter choice

To calibrate the bond model and to set the values of model parameters, a number of calculations has
been performed for various confinement and load arrangement conditions, as well as for concrete
and steel with different material characteristics, see Section 4.4. Based on these comparative analy-

ses the parameter values have been fixed as listed in the Table 4.1.

Table 41 Bond model parameters.

notation parameter name value/expression remarks

cot(6) coefficient of friction 1 constant

[ cone angle [deg] 0.1 xf. concrete strength dependent
Y rib face angle 60° bar geometry dependent
K(e,) constant for reduction of ¢, 30 constant

K(e,,) constant for reduction of €, 8.5 constant

K(d,) constant for reduction of 6; 100 constant

Ty critical bond stress 5% fy concrete strength dependent
T3 max max. residuel bond stress 2.5xf, concrete strength dependent
Ts,min min. residual bond stress 0 constant

O3 max characteristic slip value Ly, =0.33 xd, bar geometry dependent

Besides the model parameters, also material characteristics of reinforcing steel and concrete are the
input data of the proposed bond model. It should be remarked in this respect that to describe the

properties of concrete a fracture mechanics approach is used, see Chapter 2.
Structural modelling

Load introduction zone

The local bond stress-slip response is affected by the state of stress in the surrounding concrete.
Since this state of stress significantly differs with different loading and boundary conditions, it is
not surprising that differences in bond stress-slip relations along the transmission length of an

embedded bar can occur.
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In the bond model described in Section 4.2 the local bond stress is conceived as being based upon
the response of concrete disc surrounding the bar at that particular position. This is a simplification
of reality, for the rib bearing forces are spread into the concrete under a certain angle, thus also acti-
vating the concrete in adjacent concrete discs. This “linkage effect” shall be taken into account since
it may result in significant differences in bond strength and stiffness, depending on the degree of
restraint near the end of a concrete member or near a crack, and on the direction of bar movement
with respect to the entrance plane. This has experimentally been shown by Cowell et al. (1982) in the
case of pull-out and push-in tests.

Pull-out loading with relative displacement into the direction of the free edge will result in an earlier
occurrence of radial cracks due to lack of restraint. In those cases often a concrete cone is pulled out.
Both the occurrence of the radial cracks and the cone pull-out are connected with a considerable
reduction of the bond stress and this effect is often taken into account by assuming a bond free length
of 2d_; e.g. Konig and Fehling (1988). In the present model a more refined approach is used, however.
To count for the influences related to the introduction of bond forces near the entrance plane it is
assumed that the force is spread out in a conical volume. Hence, the activated concrete area is
proportional to the distance from the entrance plane. The angle ybetween the axis and the surface
of the cone depends on the direction of the slip with respect to the entrance plane and the confining
conditions near the entrance plane. When the bar moves from the entrance plane, the angle wis put
equal to 90°, which means that the bond stresse are not reduced. For the opposite direction of
relative bar movement the angle y varies from 40° when the entrance plane coincides with a free
edge, such as a crack, to 90° when the entrance plane is restraint, such as in pull-out tests with a

bond free zone.

Effective concrete cover

The present bond model for ribbed bars is based on the confinement delivered by the surrounding
concrete. The bond force is limited by the maximum radial component that can be equilibrated by
the radial compressive stresses resulting from the concrete confinement. After the occurrence of
radial cracks a redistribution of the internal stresses may take place due to local changes in stiffness.
The internal stress distribution around a bar will strongly depend on the geometry of the member
cross section and the position of the reinforcing bars.

It has been observed in experiments with equal bottom cover that both the crack pattern around a
bar and the ultimate resistance against splitting are influenced by other cross-sectional dimensions
(Morita et al. 1994, Den Uijl 1992). This observation supports the supposition that the confinement
delivered by the concrete not only depends on the smallest concrete cover, but that a greater part of
the concrete cross-section may contribute to it as well. This is taken into account by considering an
effective concrete cover on the bar, which is related to the dimensions of the concrete cross section
and the lay-out of the reinforcing elements. This effective concrete cover — as it is mentioned here-
after — is used to simulate the confinement conditions of the considered bar by means of the thick-
walled cylinder model. The following expression has been chosen:

m

ot = 2 ILEHE) + Cuan(1 = (D] (*13)

i=1
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with
¢ = effective concrete cover

C maximum effective concrete cover to be taken into account

eff,max
m = number (3 or 4) of equally spaced directions to be taken into account depending on
section geometry
¢, = cover thickness in each of m directions
x(c) = indicator function, defined as follows:
2(c;) = 1 if €S Copg e

x(c,) = 0if c>c

eff,max

The maximum effective concrete cover is defined as the length of the most probable splitting crack:

Ci min + 7
Cottmay = 2Tty (4.14)
eff.max COS((X) s
with
C = smallest concrete cover to be taken into account

imin

Il

o angle between critical splitting plane and normal to closest concrete surface (o = 45-60°)
If more than one bar is located in a section a fictitious cover of 0.75s, is assumed, s, being the clear
bar spacing in the direction considered. This assumption takes into account that the concrete in
between the bars is more effective in resisting the circumferential tensile stresses than the concrete
in the cover, for the stress distribution is more uniform in the former case. In Fig. 4.7 some examples

of effective concrete cover for bars in members with different geometries are given.

Ci=2

Ci-1

3
9
a Ci-3 Ci=g

Fig.4.7. Effective concrete cover for different member geometry.

Additional confinement

Among the parameters affecting bond efficiency the confinement plays a major role. When
analyzing the behaviour of a structure it shall be considered whether, besides the clamping action of
the concrete surrounding the bar, also additional confinement is available. This can be the active
confinement resulting from loads transverse to the bar, i.e. resulting from a support or from the
column force in a beam-column joint, or passive confinement delivered by transverse reinforce-

ment. In practice often both active and passive confinement will be present.
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The active confinement is more efficient than the passive one, since its effect does not depend on the
mobilized bond stress. Passive confinement, on the contrary, depends on concrete dilatancy connected
to the radial stress at the concrete-to-steel interface. Furthermore, the influence of additional confine-
ment depends on the bond failure mode. Maeda et al. (1995) observed an increase of bond strength
proportional to the confining stress delivered by the transverse reinforcement in case of bond splitting
failure. As far as the pull-out failure is concerned it is usually assumed that once the transition from
rib bearing to friction has taken place the bond strength can not be increased by transverse reinforce-
ment (Eligehausen et al. 1983). On the contrary, active confinement will contribute to the bond
strength in both failure modes (Eligehausen et al. 1983; Malvar 1992). It is reported that tensile stresses
perpendicular to the bar may result in a negative contribution to the confinement (Nagatomo 1992).
Although the present confinement model given in Chapter 2 only deals with the clamping action of the

concrete surrounding the bar it seems feasible to include the passive and active confinement as well.

4.4  Bond model verification
The validity of this concrete confinement based bond model has been verified by comparing model
predictions with results of tests, where well defined confinement conditions had been created. By this

means also the potentials of the model, further discussed in Bigaj et al. (1996), have been shown.

T OTOCRTOCORRRRARS
VIR )
TR N

0 slip [mm] 1

Fig. 4.8a. Bond stress-slip relationships for pull-out bond failure for Nsc (steel strain dependence shown).
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bond stress
[MPa]
0
60
cover [mm)]

0 slip [mm] 1

Fig. 4.8b. Bond stress-slip relationships for splitting bond failure for Nsc (concrete cover effect shown).
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bond stress
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0
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[m/m]
0.15
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Fig. 4.8¢c. Bond stress-slip relationships for pull-out bond failure for Hsc.
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Fig. 4.8d. Bond stress-slip relationships for splitting bond failure for nsc.

In this model the capacity of the concrete cover to resist radial compressive stresses has not only a
decisive influence on the ultimate bond resistance, but it also controls the simulation of the bond
failure mode. The model is capable of representing bond behaviour for both modes of bond failure:
splitting and pull-out.

Owing to the implementation of the fracture mechanics based description of the concrete behaviour,
the bond properties of concrete with different strength and toughness can properly be estimated. Fig.
4.8a-d show the examples of bond stress-slip relationships obtained for both bond failures for two
types of concrete, namely normal strength concrete (Nsc) with a cubecompressive strength f,. = 35 MPa
and for high strength concrete (1sc) with a cube compressive strength f,. = 107 MPa (bar diameter

d, = 20mm; some specific curves highlighted). Experimentally observed significant differences in the
bond behaviour of Hsc and Nsc clearly appear when corresponding diagrams are compared (Fig. 4.8a
and 4.8c for pull-out mode of bond failure, Fig. 4.8b and 4.8d for splitting mode of bond failure).

The model enables the prediction of the actual bond stress-slip relationship for a particular load
path (the steel stress-strain characteristics dependence included) and for particular geometrical
characteristics of the specimen (the confinement and boundary conditions dependence involved).
In order to demonstrate the ability of the model to simulate the bond resistance in a wide range of
steel deformations the calculated results are compared with those obtained in pull-out tests with
long embedment lengths (Bigaj, 1995), as shown in Fig. 4.9 and 4.10. In both figures, additionally to
the test simulation curves, the simulations valid for various constant values of steel strain levels g,
are shown. It must be remembered that during the tests the steel strain does not remain constant but

changes from g, =0to g, = ¢,

su/

where ¢, is the ultimate steel strain. An equally good agreement is
found for test series with nsc and Nsc — both concerning the steel stress and slip development along

the transmission length and the bond stress-slip relationships.

30 T I I

= (est results
f s test simulations| |

bond stress » — &, = const
[MPa] — |

k “\\\
0

0 1 2 3 slip [mm]

Fig. 4.9. Comparison of test results and test simulations for long embedment length — nsc (Bigaj, 1995)
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Fig. 4.10. Comparison of test results and test simulations for long embedment length —nsc (Bigaj, 1995).

This holds for other load arrangements and boundary conditions as well - besides the beam
bending tests (Bigaj, 1996), the experiments (Manfredi and Pecce, 1996), where conditions as
between two cracks have been created and the bond behaviour in the post-yield range of steel
deformations has been studied (short embedment length, zero slip values with non-zero steel stress
value), were simulated with very good agreement, see Fig. 4.11. In modelling of all these cases the
discussed above assumptions concerning the load introduction zone and the effective concrete

cover have been involved.

0.15 9
Loy e lest Tesults
steel strain moe——————— L 1] e test simulations
[my/m] 2=t slip [mm] [ Wepg
f e test results
0 weenes t@St simulations 0
0 10 20 30 location [mm] 0 10 20 30 location [mm]

Fig. 411. Comparison of test results and test simulations for short embedment length (Manfredi and
Pecce, 1996).

The potentials of the model to simulate the effect of reinforcing steel characteristics on the bond
stress-slip relationships could be proven by comparison with test results (Shima et al. 1987), where
this effect has been studied in pull-out tests with long embedment lengths, see Fig. 4.12. It shows
that the model accounts in a proper manner for the influence of reinforcing steel deformation on the
bond strength development.

With regard to the bar size, the discussed model is capable of representing the bar size effect on the
bond behaviour. This influence is implicitly included, owing to the fracture mechanics based
description of the splitting crack propagation process. There is not so much experimental evidence
available concerning this phenomenon, since most of the tests have been performed with only one
bar size at the time, or the bar size variation has been very limited. Some more extensive research
(Morita et al., 1994) confirms, however, that the bar size effect on the bond behaviour exists.

They found a change in the rate of bond strength decrease with increase of the bar diameter for a
changing concrete cover thickness. They also reported the bar size insensitivity of the ultimate bond
stress in cases where pull-out type of bond failure takes place. In Fig. 4.13, where the simulations

with the concrete confinement based bond model are shown, the same tendencies are observed.
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Fig. 4.12.  Effect of reinforcing steel characteristics on bond stress-slip relationship comparison of test
results (left column) and test simulations (right colummn) (Shima et al., 1987).

Tb,u /f;‘t
Cover : Bond failure mode :

4+ =2 3.0ds pull-out H

. 2.5ds = splitting Ll
2.0 ds splitting

T L54ds splitting i

21 10ds splitting M
[l l
14 16 24

0 ——t .

0 10 20 30 ds; [mm]

Fig. 4.13. Bar size effect on ultimate bond strength.

Concluding remarks

Based on experimental and analytical studies a bond model for ribbed bars has been developed.

In this model the concrete confining capacity is used as a starting point. The model is capable of

predicting the response of materials with various fracture properties, such as nsc and Hsc, both for
splitting and pull-out type of bond failure. In this way the significant differences in the bond

behaviour of Hsc and Nsc can be studied and the bond resistance of any concrete type in any confine-

ment conditions can be predicted. The model accounts for the effect of bar deformation on the bond

stress-slip relationship, also in the post-yield range. These characteristics make this bond model a
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suitable tool in analyzing the behaviour of structural members in the serviceability as well as in the
ultimate limit state, i.e. in studying problems such as deformation capacity of reinforced concrete

structures.
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7  Symbols
a constant, see eq. (2.8)
b constant, see eq. (2.8)
c clear concrete cover
o clear concrete cover plus bar radius
¢,  wall thickness of cracked part of cylinder

cy  effective concrete cover = wall thickness of cylinder

cot(¢) coefficient of friction

d, bar diameter

1. concrete cylinder compressive strength
fee concrete cube compressive strength

fu concrete tensile strength

l,,  characteristic length

n number of radial cracks

r radius

[ radius of crack front

7o radius of cylinder outer face

7 radius of cylinder inner face

T bar radius

u,; radial displacement of cylinder inner face

w, fictitious crack width at which no stress is transferred

w, fictitious crack width at which tensile stress o, is transferred

(@ constant, see eq. (2.4)

C, constant, see eq. (2.17)

C, constant, see eq. (2.29)

E elastic modulus of concrete

G;  fracture energy

o constant, see Fig. 2.2

B constant, see Fig. 2.2
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A, elongation of circumferential fibre with radius r

A,  constant elongation of circumferential fibres across the cylinder wall
g,  concrete strain for o, = f,

g, steel strain

g,  tangential strain in circumferential fibre with radius r
1] angle between cone surface and bar axis

v, Poisson constant of concrete

o,,  radial stress at radius r

o, tensile stress

o,, tangential stress at radius r

T, bond stress

superscripts

LE  linear elastic; refers to contribution of uncracked part of the cylinder
NL  non linear; refers to contribution of cracked part of the cylinder

I uncracked stage of behaviour

I partly cracked stage of behaviour

Il  entirely cracked stage of behaviour

RBM rigid body movement

Ac  change of wall thickness
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